40

Thermal Response of a Continuous
Two-Span Composite Bridge

Structure

Jack H. Emanuel, Department of Civil Engineering, University of Missouri-Rolla
David J. Wisch, Central Offshore Engineering, Texaco, New Orleans

This experimental investigation was conducted to verify and substan-
tiate a prior theoretical study of environmental stresses induced in
composite-girder bridge structures. The objectives of the study were
(a) to construct and instrument a 4.6- and 4.6-m (15- and 15-ft) con-
tinuous two-span laboratory structure of composite design, (b) to
subject the structure to thermal loading, and (c) to correlate the ex-
perimental temperature distributions, strain distributions, and de-
flections with those obtained from the theoretical study. Infrared
heat lamps were used to obtain steady-state thermal loading. Three
theoretical cases were considered for strain calculations: (a) both
the slab and the beam in plane stress, (b) the slab in plane strain and
the beam in plane stress, and (c) the slab in some state between plane
stress and plane strain (partially restrained) and the beam in plane
stress. The experimental and theoretical temperature distributions,
strains, and deflections were in reasonable agreement. It was con-
cluded that the theoretical procedure provides a rational method for
predicting the thermal behavior of composite-girder bridge structures
and can be applied with reasonable confidence when used with
realistic temperature profiles, material properties, and substructure
stiffness characteristics.

Bridge problems related to temperature have been the
subject of rather extensive studies in Australia, Europe,
Canada, and, to a lesser extent, the United States
(1-11). However, the Australian and European studies
have been concerned primarily with concrete box-girder
structures rather than with concrete-steel composite-
design bridges. The temperature-distribution analysis
involved in these two types of design differs very little,
but the determination of strains and stresses differs
markedly.

A single-material structure has deformations and
stresses that result from nonlinear thermal gradients
and from restraints acting at the abutments. Struc-
tures made of two or more dissimilar materials have,
in addition to the above factors, internal stresses and
strains caused by the interaction of differing physical
properties and require a complex analysis. Recent
numerical studies have shown that thermally induced
stresses in a composite-design structure can reach
30-40 percent of the design strength of the component
materials (6, 8, 10).

Designers of many recent bridges have eliminated
expansion devices in favor of connecting the super-
structure to a flexible substructure (12,13). Recent
rigorous studies (8, 10, 14) investigated thermally in-
duced stresses in this type of structure from a theo-
retical standpoint. Acceptance of the developed pro-
cedures and theoretical results and their use in design
criteria are subject to substantiation by experimental
results obtained from model and prototype testing.

The objectives of this study were to design, con-
struct, and instrument a small composite-design
laboratory structure; to subject the structure to thermal
loading; and to correlate the experimental results with
calculated values obtained by using the theoretical
procedures previously developed (10, 14). Both the
temperature distribution and the thermally induced
strains and stresses were investigated.

TEST STRUCTURE

The test structure used was a 4.6- and 4.6-m (15- and
15-ft) two-span continuous composite-design bridge
114 cm (45 in) wide with no skew. A curved steel plate
and pintle bearing was used at the pier, and integral
ahutments were used at the ends. For reasons of
economy and mechanics, an adequate rather than a
true model was designed and constructed.

Abutments

Integral stub abutments with flexible pilings were
modeled by the test structure. Modeling considerations
included a desire for a constant soil modulus, noninter-
ference of the container on the soil medium and pile in-
teraction, and a reasonable piling-to-superstructure
stiffness ratio. The minimum dimensions of the medium
container were based on ratios to avoid container in-
terference suggested by Davisson and Salley (15) from
model pile tests.

A uniform sand was chosen as the soil medium be-
cause it allowed the greatest control over the required
soil parameters, which included low moisture content,
ability to retain a constant modulus under repeated
loading, a constant density, and the ability not to pick
up moisture from the atmosphere. A uniform density
of 1674 kg/m® (104.5 1b/ft") was achieved by using the
"rain"” placement method of Vesic (16). All sand was
dried to less than 2 percent moisture by weight before
placement to avoid modulus change and cementing.

Pilings, three at each end of the structure beneath
the stringers, were steel bars 183 cm (72 in) long with
a 127x13-mm (5x0.5-in) cross section buried 168 cm
(66 in)in the sand. For ease of placement and to pro-
vide a rigid connection to the superstructure, a
152x%13-mm (6x0.5-in) steel-plate pile cap was welded
across the tops of the piles.

Pier, Bearings, Stringers, and
Slab

Three standard pipe sections 5 cm (2 in) in diameter by
194 cm (76.5 in) long were rigidly attached to the floor
and provided the pier. This simulated a cantilever
beam, in accordance with the fact that in the field most
piers have a relative point of fixity.

Stringer plates welded to the bottom flange of each
stringer were bolted to the piling cap plate to create an
integral connection at the abutments. This connection
transferred both moment and rotation along with
longitudinal displacement. The pier bearing consisted
of curved steel plates attached to the stringers nesting
on a machined bearing plate supported by the pier.
Chamfered pintles were used to prevent displacement
but allow rotation.

A miscellaneous-shape wide-flange section 15 cm by
64 N/m (M6 by 4.4) was selected for the three stringers
spaced 51 cm (20 in) on center. Ten sets of channels



10 cm (4 in) deep were used for the diaphragms located
at 0.6, 1.2, 2.6, 4, and 4.6 m (2, 4, 8.5, 13, and 15 ft)
from eachside of the pier. Studshear connectors 10 mm
(0.38 in) in diameter by 22 mm (0.88 in) were welded

to the top flanges of the stringers at 10-cm (4-in)
centers. Inaccordance with standard AASHTO proce-
dures, connectors were not placed in high-tensile
(negative-moment) zones. The steel layout is shown

in Figure 1.

A 38-mm (15-in) slab depth was chosen to keep an
acceptable slab-to-stringer stiffness ratio. A 16-gauge
wire mesh was placed close to the top and bottom of
the slab for reinforcement. The mesh provided rein-
forcement and temperature steel in the longitudinal
and transverse directions. Crushed limestone with a
maximum particle size of 10 mm (0.38 in) was used for
the coarse aggregate; a masonry-blend sand was used
for the fine aggregate; and the air content of the con-
crete was 6.3 percent. The 28-day strength obtained
from cylinder tests was 30.3 MPa (4400 Ibf/in%).

INSTRUMENTATION

The task of the instrumentation was to record tempera-
tures, strains, and displacements at selected points.
The automatic data-recording system included an
automatic scanner, a stepping unit, and a paper-tape
perforator.

Carbon-steel temperature-compensated SR-4 strain
gauges recorded apparent strain. Gauges on the center
stringer and in the slab were mounted with a heat-cure
epoxy to minimize creep and adhesive deterioration.
Thermistors that had a sensitivity of +0.2°C (0.4°F) were
mounted near each strain group with a metal-filled
epoxy for better heat transmission. Gauges and
thermistors were mounted directly on steel surfaces
at all locations except those in the concrete deck.

To obtain reliable readings in the slab, the in-
strumentation was mounted on high-grade soda-lime
glass microscope slides of low alkali content. The
mechanical and thermal properties of the glass slides,
which were 2.5 mm (0.10 in) thick, were very close to
the properties of the concrete deck. This reduced the
possibility that heat sinks would alter temperature
gradients and that dissimilar coefficients of thermal
expansion and Young's moduli would induce stress con-
centrations. To provide a better mechanical bond to
the deck concrete, several 6.4x3.2-mm (0.25%0.13-in)
slots were cut into the sides of the slides.

Instrumentation exposed to the atmosphere was
moistureproofed with a neoprene barrier, while that
in the deck was coated with several thin layers of
beeswax. All leads from the gauges to the system were
of the same length.

Figure 1. Steel layout. 5cml,
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The total longitudinal deck deflection and vertical
deflection at the midspans were recorded by using dial
indicators with a least count of 0.025 mm (0.001 in),
Indicators at the midspans were mounted on wooden
standards, whereas those at the abutments were
attached to metal channels that were rigidly attached
to the sand-box frame.

All information except the indicator readings could
be recorded through the acquisition system and output
on paper tape. This tape was then read into a mini-
computer that formatted and sent the recorded values
through a remote terminal directly into data files of an
IBM 360-70 for data reduction.

Instrumentation Orientation

Pairs of strain gauges were mounted on the center pier
10 cm (4 in) and 46 cm (18 in) above the floor. The
gauges were mounted on opposite faces to record pier
bending if the top translated toward either abutment.

Five locations along the length of the bridge were
chosen for the placement of transducer groups. Two
groups were placed midway between stringers near the
abutments and had transducers in the deck only. The
other three locations were along the center stringer
and had transducers through the slab and on the stringer.
The location of each group is shown in Figure 2.

Transducers placed in the slab consisted of a
microscope slide with a strain gauge, thermistor, and
leads as shown in Figure 3. These transducers were
located at the top and four intermediate points of the
slab, and thermistors and strain gauges were placed
on the stringer flanges and at seven intermediate
points on the web at locations 2, 3, and 4, as shown
in Figure 4.

Locations 1 and 5 had instrumentation in the slab
only. The transducers were placed in cantilever
temperature-reference bars measuring 23 cm (9 in)
longitudinally by 10 ¢cm (4 in) transversely and
separated from the deck on three sides by flexible
Styrofoam and void of wire mesh. The Styrofoam pro-
vided virtually no resistance to small expansive move-
ments and allowed thermal gradients, which would have
been altered had there been an air space instead of the
insulating material, to remain continuous along the
deck.

Thermistors were also positioned 7.6, 15, and 30
cm (3, 6, and 12 in) above and below the slab to give
an indication of the still air temperature and the thermal
gradients around the bridge. The thermistors above
the deck were shaded from the heat lamps to avoid the
effect of incident radiation on unshielded thermistors.
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TESTING
Heat Source

The test structure was thermally loaded by using 250-W
infrared reflector heat lamps. Radiation heating rather
than a constant heat source (i.e., heated fluid)was chosen
because it more closely approximated actual field con-
ditions and was simple to control. The lamps were
placed in four rows along the length of the bridge, and
alternate rows were staggered to provide a more uniform
distribution. The faces of the lamps were placed 51 cm

Figure 2. Plan view of deck instrumentation groups.
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(20 in) above the deck. This height provided a deck
temperature up to 72°C (160°F) and uniform radiation
distribution.

The 120 lamps were divided into five circuits. Three
circuits controlled the perimeter lamps, and each of
the other two circuits controlled an interior row of
lamps. To obtain uniform radiation incident across the
width of the deck, the outer lamps required a higher
voltage, because there was less overlapping along the
edges than in the center. Each circuit was controlled
by a Variac transformer. Thus, different levels of
uniform thermal loading could be obtained.

To check the uniformity of the thermal loading, a
heat receptor was fabricated and painted flat black.
When the receptor indicated a constant temperature at
all locations on the deck, the circuits were considered
to be adjusled properly for the most uniform heat flux.

Testing Procedure

Before any testing cycle, the laboratory was sealed to
eliminate any outside drafts or drafts from heat and
air-conditioning ducts. Thus, the only source of forced
convection would be air currents caused by thermal
gradients developing into cyclic drafts as a result of
the laboratory's size.

Steady-state temperatures through the cross section
were achieved after seven hours of heating. Strain-
gauge and thermistor readings were recorded on
punched tape through the acquisition system. Dial-
indicator readings were hand recorded. Recorded
values included longitudinal strains and temperatures
at previously described points, strains at the base of
the pier to determine the lateral movement of the top
of the pier, and the ambient air temperatures at points
above and below the slab.

THERMAL STRESSES

Analysis of thermal strains and stresses in an indeter-
minate structure is achieved by (a) removing redundants
to obtain a determinate structure, (b) dividing the simple
determinate structure into a number of constant-section
segments and determining the thermally induced seg-
ment strains and stresses, (c) applying the redundants
as loads and obtaining by conventional methods of
analysis the resultant induced stresses and strains
caused by the redundants, and (d) superimposing the
thermally induced and the redundantly induced strains
and stresses.

A procedure for determining thermally induced
strains and stresses was developcd by Zuk (1, 2) and
modified by Berwanger (17) and Berwanger and Symko
(6). Emanuel and Hulsey (8) and Hulsey (10) refined
the work of Zuk and of Berwanger and developed a
procedure to account for slab-beam interaction.

The procedure used in this study follows that of
Hulsey (10). The geometric and material segment
properties are assumed to be constant along the segment
length: the temperature profile through the depth of the
cross section is assumed to be constant along the seg-
ment length; and the slab and stringer are assumed to
form a composite section. The slab may be assumed
to be in plane stress (g, =0), plane strain (e, =0), or
some state between the two. The beam is assumed to
be in a state of plane stress for all cases. Theoretical
results for each of the three cases were compared with
experimental results in this investigation.

TEMPERATURE DISTRIBUTION

The temperature distribution through a bridge structure



has been a popular research topic in recent years for
both steady-state and transient conditions. Due to com-
plexity of the (a)governing differential equations arising
from the geometry of the structure, (b)boundary condi-
tions, and (c) effects of all three classical forms of
heat transfer, solutions for the distribution have
centered on numerical techniques.

The numerical technique chosen for theoretical
solutions in this study was a finite-element technique
originally developed by Wilson and Nickell (18) and
extended by Hulsey (10). This technique was a two-
dimensional analysis capable of handling multiple ma-
terials, nonlinear boundary conditions, all three
classical forms of heat transfer, and steady and
transient conditions.

RESULTS OF EXPERIMENTAL
INVESTIGATION

In the test sequence, two levels of radiation were ap-
plied to the deck, and multiple tests were made at each
level, At the higher level a heat flux of 0.06 W/em®
(1.30 Btu/in®-h) was incident on the surface, while at
the lower level 0,05 W/em?® (1,13 Btu/in®-h) was in-
cident,

Temperature Distribution

Very consistent repeated-test results were obtained;
temperature profiles for a given flux input fell within a
37C(5.4°F) band. Profiles taken along the length of the
bridge, at locations 2, 3, and 4, also fit within this
band. Experimental profiles for a typical test at the

Figure 5. Experimental and theoretical temperature
profiles for typical full-power test.
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maximum flux level are shown in Figure 5. Tempera-
ture profiles for reduced-power tests, being 8.7°C
(15.6°F) cooler at the top of the slab and 4°C (7.2°F)
cooler at the bottom of the stringer, parallel those of
Figure 5.

The theoretical temperature profiles were obtained
from a finite-element analysis. The variables used in
the analysis are tabulated below [1 W/cm® = 22.03 Btu/
in”-h; 1 W/em - °C =57.78 Btu/ft-h -°F; 1 W/m?-°C =
0.18 Btu/ft* h-°F;t°C = (t°F - 32)/1.8].

Property Trial 1 Trial 2
Heat flux (W/cm?2) 0.059 0.051
Deck absorptivity 0.7 0.7
Keoncrete (W/cm-°C) 0.014 0.014
Kytoer (W/cm:°C) 0.538 0.538
Nasove deate (W/m?-°C) 6.92 6.92
Pielow deck (W/m?-°C) 414 4.14
Airabove deck (OC) 49 104
Ailgeiow dock (°C) 35 32

The convective-film-coefficient ratio that was selected
varied slightly from those suggested by Emerson (3)
and Priestly (9) for a horizontal plane surface to account
for the vertical projection of the stringer webs. Air
temperatures were based on laboratory readings taken
during testing,

The excellent correlation between the theoretical
and the experimental profiles is shown in Figure 5.

Strain Distribution

The recorded strains included apparent strain resulting
from the effects of change in electrical resistance (a
result of higher-than-average test temperatures),
restraints (abutments and pier), and dissimilar ma-
terials. An apparent strain resulting from a difference
in thermal coefficients of expansion was also induced
in the glass-slide transducers. A computer program
was developed for data reduction and apparent-strain
correction,

The repeated-test bandwidth for as-recorded and
temperature-compensated strain profiles is shown in
Figure 6. Strains for repeated tests fall within a nar-
row bandwidth similar to that observed for the tem-
perature profiles.

The relation among the experimental strains along
the length of the bridge, i.e., at instrument groups 2,
3, and 4, is shown in the as-recorded and compensated
strain test profiles of Figure 7.

In contrast to the temperature profiles, an erratic
pattern of strains is apparent in the slab, These pat-
terns could be the result of a number of things such as
imperfect bonding or slippage between the transducers
and the deck or honeycombs or air voids in the con-
crete around the instrument groups. The latter could
result from inadequate emplacement of the concrete
around the congestions of transducers in the slab, All
patterns, however, are consistent for a given series
of tests.

From the data obtained from the cantilever reference
sections of instrument groups 1 and 5, the coefficient of
thermal expansion for the limestone-aggregate concrete
was determined to be (6.3 x 107°)/°C [(3.5x 10™°)/°F].
This compares closely with calculated design values
obtained from the method of Emanuel and Hulsey (19).
The experimental value is used later in calculations of
theoretical strains,

The strain profiles indicate negative curvature
(lengthening of top deck fibers greater than that of
bottom flange fibers) at the midspan locations and posi-
tive curvature above the center pier. These relation-
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Figure 7. Experimental and theoretical strain profiles for test 2,
fult-power flux level.
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Figure 8. Distorted linc diagram of relative thermally
induced superstructure deformations.

ships are compatible with the temperature profiles
(i.e., the top of the section is warmer than the bottom)
and with the pier support, which arrests dead-load
deflection at the support.

There was no differential strain at the base of the
pier, which indicates that no longitudinal displacement
occurred at the bearing elevation of the pier and thusthat
longitudinal displacements were symmetrical about the
center of the structure. This symmetrical action was
substantiated by the dial-indicator readings (slightly
less than 0.13 mm [0.05 in]) at each of the abutments
that were virtually identical for each of the tests in a
given series.

Strains recorded from the piling gauges were very
erratic, and no plausible explanation, conclusions, or
trends could be deduced.

The previously described procedure of Emanuel and
Hulsey (8) and the computer program developed by
Hulsey (10) were used to obtain the theoretical strains.
Experimental rather than the theoretical temperature
profiles were used to calculate the theoretical strains
that were correlated with the experimental strains. The
following material propertics were used to calculate the
theoretical values (1 Pa = 0,000 145 Ibf/in% °C = (t°F -
32y/1.81.

Value
Property Steel Concrete
Young’s modulus (Pa) 2.1 x 10" 2.1 x 10
Poisson’s ratio 0.3 0.2
Coefficient of thermal 11.7 x 10°/°C 6.3 x 108/°C
expansion

The three cases analyzed were (a) both the slab and
the beam in plane stress, (b) the slab in plane strain
and the beam in plane stress, and (c) the slab in some
state between plane stress and plane strain (partially
restrained) and the beam in plane stress. The theo-
retical strain profiles for the three cases are shown
for the full-power flux level in Figure 7. The profiles
for reduced power parallel those in Figure 7 (20 e
lower).

The uncommon coincidence of the midspan and the
pier profiles for case a, slab in plane stress, and case
c, slab partially restrained, results from the particular
combination of material and cross-sectional geometric
properties and the temperature profiles of the test
structure. The vertical orientation of the profiles in-
dicates very little longitudinal curvature of the cross
section at midspan and pier, which results in very
small calculated vertical deflections at the midspan.

The experimental and the theoretical strains show
close general agreement. Also, the observed and
theoretical longitudinal deck displacements at the bear-
ing elevation of the abutments differ by only 10-15 per-
cent of the measured and theoretical values.

The only experimental and theoretical values not in
reasonable agreement, excluding strain scatter in the
slab, are the vertical deflections at the midspans and
the curvatures at both the midspan and the pier. These
deflections and curvatures are both functions of dif-
ferential strain values and the vertical distance between
the points of strain measurement. The closest agree-
ment between experimental and theoretical curvature
is for case b, the slab in plane strain. This case also
yielded the largest theoretical calculated vertical
deflection, about 25 percent of the observed deflection
and a rather poor correlation. However, the experi-
mental strains yield a curvature that would produce
deflections quite close to those observed.

The most plausible explanation for differences in
correlation originates at the pier. The programmed
theoretical procedure assumes (a) a continuous shear
connector spacing, which results in an assumed
stiffer structure, and (b) that no vertical displacement
ocecurs at any support. In the test structure, some
vertical deflection was possible at the pier. As are-
sult of the curved steel rocker plate and pintle, the
superstructure was free to deflect vertically upward
at the pier, the only restrictions being its own dead
weight and the stiffness of the structure (as with a
prototype structure). The effect of this vertical deflec-
tion would be to increase the curvature above the
theoretical values and subsequently to increase the
midspan deflections. Vertical deflections (upward)
measured at the pier during the tests were approxi-
mately 0.25 mm (0.01 in), which was slightly less than
one-third the deflection of about 0.76 mm (0.03 in) at
the midspan. The vertical deflection at the abutments
was negligible, A distorted line diagram of relative
thermally induced superstructure deformations is
shown in Figure 8.

Determination of stress in the theoretical procedure
uses the interaction of longitudinal, transverse, and
vertical strains and Poisson's ratio, longitudinal strains
being the major parameter. In this study, it was
feasible to instrument only for longitudinal strain. Thus,
a prediction of stress based strictly on experimental
observation is not possible. However, because the ex-
perimental and theoretical longitudinal strains correlate
closely, theoretical stresses calculated from the ob-
served temperature profile are believed to be valid and
are presented below (1 kPa = 0.145 1bf/in”) for full-
power tests and discussed in what follows. The pattern
of stresses for reduced-power tests parallels those for
full-power tests.

Stress .
Location Case a Case b ase ©
Top of slab
Midspan (kPa) 62 214 -324
Pier (kPa} 76 -290 -303



Stress .

Location Case a Case b Case ¢
Bottom of slab

Midspan (kPa) 965 820 1820

Pier (kPa) 965 786 1820
Top of stringer

Midspan (MPa) -30.2 -22.7 -33.7

Pier {MPa) -30.2 -23.0 -33.6
Bottom of stringer

Midspan (MPa) 8.2 13.2 8.6

Pier (MPa) 7.9 20.3 7.9

Case c, the slab in some state between plane stress
and plane strain, produces the highest compressive
thermal stress in the upper flange of the stringer at
both the midspan and the pier. Values for case a are
not quite 10 percent lower and for case b are 40 percent
lower.

Tensile stresses are produced in the lower stringer
flange. The highest values at both midspan and pier are
found with method b and slightly lower values result
from methods a and c in order of magnitude, respec-
tively.

For flange stresses, the method producing the
largest compressive stresses produced the smallest
tensile stresses, and vice versa.

The maximum compressive stress [33.7 MPa (4890
1bf/in)] in the upper flange occurred at midspan for
case ¢ and was approximately 25 percent of the allowable
design stress. The maximum tensile stress [20.3 MPa
(2440 1bf/in®)] in the bottom flange occurred at the pier
for case b and was nearly 15 percent of the design
stress.

Maximum tensile and compressive slab stresses at
both the midspan and the pier were produced by case c.
This is caused primarily by transverse bending in the
slab between the stringers. The maximum slab tensile
stress [1820 kPa (264 1bf/in’}] and the maximum com-
pressive stress [303 kPa (44 Ibt/in®)] were approxi-
mately 10 and 3 percent of the compressive strength
of commonly used 20.7-MPa (3000-1bf/in®) concrete.

The theoretical procedure is based on the assump-
tion that the pier does not deflect vertically. Upward
pier-support movement, indicated in the tests, re-
duces the tensile stress in the lower stringer flange;
however, this movement has only minimal effect on the
stress in the upper flange, because this flange is very
near the neutral axis of the composite section.

Integral abutments, as contrasted with roller sup-
ports, introduce the following effects. As the sub-
structure stiffness increases, changes in the longitu-
dinal stress patterns result primarily from the inter-
action of axial (P/A) and flexural (My/I) stresses
produced by the resistance to movement at the abut-
ments. At midspan, the primary influence is an My/I
superposition from a moment that induces positive
curvature. This results from the resistance of the
stiffer abutment (piling) to rotation of the superstruc-
ture. This rotational resistance also reduces the
curvature and deflections along the span adjacent to
the abutment.

If there is no vertical deflection at the pier, the
My/1 effect at the pier is produced by a moment that
induces negative curvature. This results from de-
creasing deflection at midspan. The reduced negative
curvature at midspan helps produce reduced positive
curvature at the pier.

The P/A effect is present at both pier and midspan
but has less effect on the stresses at any given cross
section than does an increase in abutment rotational
stiffness. However, if an approach slab abuts the
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superstructure or abutment cap and resists longitudinal
movement, the P/A effect can become very significant,

It should be noted that the theoretical trends dis-
cussed are based on the assumption that the center pier
does not deflect vertically. If vertical movement oceurs,
the theoretical values should be modified by the re-
sultant My/I effect for more accurate results.

CONCLUSIONS

Based on the correlation of consistent readings from
multiple runs at two levels of steady-state infrared
radiation heat loading and calculated theoretical values,
the conclusions that follow were reached.

1. Steady-state temperature profiles can be pre-
dicted with reasonable accuracy from the modeling
procedures used for the study. These procedures
provide an upper bound for both temperatures and
subsequent calculated stresses. Actual temperature
profiles are generally lower than the modeled steady-
state profiles because of the variation in and short
duration of given values of the incident heat flux that
strikes the surface, whereas the steady-state analysis
requires several hours of constant flux application.
Wind also tends to reduce temperatures.

2. The correlation confirms that the theoretical
procedures are adequate for a reasonable prediction
of the behavior of composite-girder bridge structures
subjected to thermal loading.

3. The theoretical longitudinal curvature is some-
what smaller than that observed. This is believed to
be a result of the assumption that there is no vertical
deflection of the supports, whereas the test data in-
dicate an upward deflection of the pier.

4. The theoretical and the observed longitudinal
strains are in reasonable agreement. Resultant
stresses in the test structure, which are functions of
longitudinal, transverse, and vertical strains, can be
expected to parallel the theoretical values.

5. DBased on the strain profiles, the theoretical
procedures give reasonable stress values for the slab
and upper flange areas of the cross section. The
theoretical stresses in the lower flange tend to be
larger than they actually are. This is believed to
arise from the My/I effect resulting from vertical
deflection at the pier and is more pronounced in the
lower flange because it is farthest from the neutral
axis of the section.

6. A comparison of the experimental temperature
profiles of the slab directly above the stringer and
midway between the stringers indicates that case c is
the most realistic of the three theoretical cases. The
profile midway between stringers is more vertical
(less temperature differential) than the profile directly
above the stringer. This indicates transverse bending
in the slab.

7. All three cases of the theoretical procedure will
generally predict upper-bound stresses for a composite-
girder bridge structure subjected to a steady-state
radiant heat flux that has a coefficient of thermal ex-
pansion for the concrete lower than that of the steel.

Subject to the limitations of correlation with a single
experimental test structure, it is concluded that the
theoretical procedure provides a rational method for
predicting the thermal behavior of composite-girder
bridge structures and can be applied with reasonable
confidence when used with realistic temperature pro-
files, material properties, and substructure stiffness
characteristics.

Further substantiation and modification from field
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testing of prototype structures to develop rational
design criteria for thermal behavior are desirable and
feasible.

RECOMMENDATIONS FOR
FURTHER STUDY

During the course of any investigation, additional ques-
tions arise from the research. It is customary for most
of these questions to be beyond the scope of the study and
remain unanswered.

From a practical standpoint, the following topics
could be of immediate value to the development of a
simplified design procedure that would account for the
thermal behavior of bridge structures and need to be
conducted:

1. A study of the thermal behavior of the concrete
deck in the transverse and vertical directions;

2. A study of the effect of diaphragms and supports
on transverse action,

3. A determination of the effect of noncomposite
areas on deck-stringer thermal interface forces and
stress variations;

4. A study of the effect of slab reinforcing on the
transfer of heat through a concrete bridge deck, i.e.,
temperature distribution;

5. A parametric study of the interaction of sub-
structure stiffness, cross-sectional geometric proper-
ties, span lengths, material properties, and support
deflections to establish limiting lengths for composite
design structures on flexible substructures; and

6. Wind-tunnel studies on the effect of turbulent air
flow on the convective film coefficient.
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